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Abstract

Swelling is commonly observed in austenitic stainless steels irradiated at high doses and high temperatures, such
as fuel claddings in Fast-Breeder Reactors (FBR), as a consequence of the formation of irradiation-induced nanovoids.
Macroscopic embrittlement has been reported above a critical swelling level. Several physical explanations have been
proposed such as void-related fracture mechanisms and phase transformation associated with local changes of micro-
chemistry. In addition, structural effects can affect the critical swelling level, tentatively explained by local corrosion,
swelling gradient and bending effects. In order to address these phenomena, an extended experimental database is first
presented, based on fuel pins irradiated in the Phénix fast reactor, showing the evolution of conventional tensile prop-
erties with swelling. In the present database, 15-15Ti specimens were irradiated from 30 to 120 dpa, with irradiation
temperatures ranging from 400◦C to 625◦C and a maximum swelling of 11%. Other data published in scientific litterature
were also included in the analysis to extend the swelling range up to 30%. SEM and TEM analysis are also summarized
to highlight specific embrittlement mechanisms related to the presence of voids. Theoretical analysis and finite element
simulations are then performed based on porous materials constitutive equations in order to rationalize the experimental
observations. Analytical and numerical results show that swelling-induced embrittlement can be understood from a me-
chanical perspective as a transition from void growth to void coalescence deformation mode. The effect of the spatial
heterogeneity of void distribution is quantified and shown to be a key parameter. Structural effects coming from tests
performed on ring and axial tensile specimens and from the presence of a swelling gradient in cladding thickness are also
quantified. Numerical results are compared to experimental data, and a good agreement is observed.

Keywords:
Irradiation, Swelling, Austenitic steels, Embrittlement, Tensile test, Porous materials

1. Introduction

Neutron irradiation of metallic materials leads to the formation of crystallographic defects [1]. These microstructural
evolutions are strongly dependent on both materials and irradiation conditions such as neutron spectrum, flux, fluence
and temperature [2]. In the context of austenitic stainless steels used as fuel claddings in Fast Breeder Reactors (FBR),
Cawthorne & Fulton [3] observed for the first time that nanometric voids can be formed under irradiation at high temper-5

ature and high fluence. The macroscopic counterpart of the presence of nanovoids in materials is a change of dimensions,
referred to as void swelling [4]. From a structural point of view, void swelling can lead to severe distortions of fuel ele-
ments [5], compromising reactor coolant flows. After an incubation period of few tens of dpa, a swelling steady state as
high as 1% per dpa can be reached for austenitic stainless steels [6]. Void swelling is highly dependent on the irradiation
temperature, and also on the chemical composition of the material [6]. This dependence has been studied extensively10

in order to obtain swelling-resistant austenitic stainless steels for FBR fuel claddings, leading to optimized grades, or to
the proposition of alternative materials [7]. Irradiation-induced voids are also observed in Light Water Reactors (LWR)
internals structures [1] to a lesser extent due to the lower temperature. The reader is referred to [8] for details about void
swelling and more generally about austenitic stainless steels used in nuclear applications.

Apart from dimensional stability, void swelling has been also related to embrittlement. Macroscopic ductility as well15

as fracture toughness of austenitic stainless steels decrease with irradiation irrespective of the irradiation temperature. This
is the result of the hardening and loss of strain hardening capability induced by the presence of irradiation defects and
dislocation network modifications [9, 10]. In most cases, the irradiated material remains ductile, and fracture is associated
at the macroscopic scale with a measurable amount of plasticity. However, brittle-like behavior has been observed for
irradiation conditions leading to large swelling [11]. Brittle failure of pressurized capsules made of 316 stainless steels20

irradiated at high fluences has been found in [12] for very low applied stress. Additional experimental observations have
been added over the years. In [13], the observations of fracture surfaces showing facets-like features covered with dimples
indicate that void-driven ductile fracture occurred parallel to grain boundaries. This scenario has been corroborated by
Transmission Electron Microscope (TEM) observations showing larger voids close to grain boundaries. Evolutions of
conventional tensile properties with swelling have been documented in [14, 15], showing a decrease of Ultimate Tensile25

Strength (UTS) with swelling. Moreover, a critical swelling level is observed above which no (plastic) elongation is
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Fig. 1. (a) Typical TEM observation of an austenitic stainless steel irradiated at high temperature / high fluence showing voids (in white) and precipitates
(in black) (b) Typical conventional tensile curves for two swelling levels: 15-15Ti material (Table 1), irradiation temperature Tirr , ring tensile specimen
(Fig. 2) tested at 25◦C. Inset: SEM observation of fracture surface.

observed, i.e., samples fail in a brittle-like behavior [16]. Similarly to [13], observations of fracture surfaces showed the
presence of nanometric dimples, indicating that the fracture mechanism involved irradiation-induced nanovoids and high
levels of local plasticity. The material remains thus ductile at the nanovoid scale, but brittle at the macroscopic scale
(Fig. 1). Explanations have been proposed since the early observations [11] to describe the quasi-embrittlement occurring30

in austenitic steels with a high level of swelling. The term quasi-embrittlement used in the present paper refers to the
absence of plastic deformation at the macroscopic scale (for instance, uniform elongation is zero in the case of tensile
test) while fracture mechanism remains ductile at the microscopic scale.The first and more obvious explanation is the
effect of voids on the mechanical behavior [12]. This effect can be strengthened by the presence of precipitates such
as G-phase along with voids, reducing inter-particles (voids, precipitates) distances [15]. In addition, segregation at the35

void surface has been put forward as promoting phase transformation. Interestingly, a dependence of the critical swelling
level on tensile specimen geometry has been found in [15] where flat tensile samples appear less brittle than ring tensile
samples. This structural effect has been attributed to three potential causes [15]. The first two come from the fact that ring
tensile samples are machined from fuel claddings, where the inner surface may be subjected to corrosion and / or higher
swelling levels due to gradient of temperature through the thickness. Ring tensile specimen also involves a slight bending40

of the gage length at the beginning of the test, with higher stresses / strains at the inner surface.
The influence of void volume fraction - called porosity - on the plasticity behavior of metallic materials has been

extensively studied since the early observations of void growth to coalescence ductile fracture mechanism [17, 18]. Voids
may be either present initially in the material, or are nucleated from inclusions / second phase particles [19]. Under
mechanical loading, voids may grow due to plastic flow [20] and eventually coalesce, leading to the formation of a45

crack. For low porosity values, plastic flow remains diffuse around the voids, and the porosity is the key microstructural
parameter. For larger porosity values [21, 22], plastic flow localizes in between adjacent voids, and the intervoid distance
is the key microstructural parameter. Homogenized models for porous materials have been proposed to describe these
two phases named respectively void growth [23] and void coalescence [24]. These homogenized models, widely used to
simulate ductile fracture, have been refined over the years to account for an increasing complexity such as void shape,50

anisotropic behavior, and the reader is referred to the recent reviews [25, 26] for more details. The influence of void size
on the mechanical behavior of porous materials has been studied mostly from a theoretical and numerical perspective,
showing size effects [27], but experimental results remain scarce [28]. The interesting feature of these models is the
increasing propensity for strain localization as porosity increases [29], which is consistent with experimental observations.
Typically, in finite element simulations, deformation eventually localizes in a layer of one element thick: strain levels can55

be very high in the localization band, but very low at the macroscopic scale. Such behavior - microscopically ductile
but macroscopically brittle - appears closely related to what is observed in austenitic stainless steels with a high level of
swelling.

A model aiming at predicting fracture strains and toughness of irradiated austenitic steels has recently been proposed
in [30]. The model falls into the micromechanical approach described previously by considering void nucleation and60

growth, but considers a plastic instability criterion to predict fracture. Interestingly, the inhomogeneity of void distribution
is considered. The model has been applied in [31] to predict the evolution of tensile strength with swelling, successfully
capturing the experimental trend. The same authors have later on proposed a refined description of their model [32]
by considering the different possible fracture mechanisms: classical ductile failure, channel fracture, nanovoids induced
fracture. In the latter, void coalescence is put forward to explain the decrease of strength with swelling. More recently,65

evolutions of both conventional tensile properties - Young’s modulus, yield stress - with swelling have been described
[33], either accounting explicitly for nanovoids in polycrystalline aggregates or using homogenized model for porous
single crystals. Numerical results are consistent with the experimental data [15]. All these studies suffer from some
limitations regarding the prediction of the quasi-embrittlement observed for austenitic steels with a high level of swelling.
The modelling initiated in [30] relies on some ad-hoc criteria, i.e., that do not fit into the ductile fracture micromechanical70

framework, to predict fracture, especially regarding the description of void coalescence and the occurrence of strain
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localization. Simulations performed in [33] account for random distribution of voids at the relevant (crystal) scale, but
void coalescence is not studied. Finally, none of the previous studies have performed simulations on tensile specimens in
order to assess structural effects.

Therefore, the objectives of the paper are twofold. The first is to provide an experimental database complementing the75

results shown in [8] regarding the evolution of conventional tensile properties with swelling and the occurrence of quasi-
brittle behaviour. The second objective is to use homogenized porous models to simulate the experimental tests in order to
highlight the key parameters controlling the embrittlement at both material and structural scales. The paper is organized
as follows: in Section 2, the experimental database - materials, irradiation conditions, mechanical tests, observations - is
presented. Modelling and numerical simulations are detailed in Section 3. Numerical results are described in Section 4,80

and key parameters are finally discussed in Section 5.

2. Experimental database

The experimental database is based on post-irradiation experiments (PIE) performed on fuel pins irradiated in the
Phénix fast reactor located in France. During Phénix operation from 1973 up to decommission in 2010, numerous alloys
in standard and experimental assemblies were tested in support of the R&D program on FBR [34]. First batches of fuel85

claddings were made of commercial annealed 316-type steel in the 70’s and were gradually replaced by optimized cold-
worked grades to achieve a better resistance to irradiation swelling and preserve good thermal creep properties at high
temperature. Careful specifications of major (Ni, Cr) and minor (mainly Ti, C, Si, Mo, Mn and P) elements contents
and optimization of fabrication process (thermal treatment and cold-work level) led to a family of swelling-resistant
alloys called in the present paper 15-15Ti. In France, the latest generation of 15-15Ti named AIM1 (Austenitic Improved90

Material #1) can reach about 100 dpa with a moderate swelling and an acceptable degradation of mechanical properties
[35]. Specification of AIM1 is close to other austenitic alloys studied in the international community such as DIN 1.4970
in Germany, optimized D9 in the US, AFIC1 in India, CHS-68 in Russia etc. In the present database, only cold-worked 15-
15Ti fuel claddings were selected (cold-work levels from 20 to 25%). 15-15Ti alloys irradiated in Phénix over the years
present slight variations of chemical composition within the range of values presented in Table 1. Before irradiation,95

external diameter of the claddings was specified to 6.55 mm and the initial thickness was 0.45 mm.

Table 1
Ranges of chemical composition in weight percent of cold-worked 15-15Ti irradiated in Phénix. Other trace elements are also present in the alloys but
specified at a low level

Element Cr Ni Mo Mn Si C Ti P
wt% range 14-16 14-16 1.3-1.7 1.3-1.7 0.4- 0.9 0.08-0.12 0.3-0.5 < 0.04

2.1. Swelling and tensile properties

Prior to examinations, fuel pins from Phénix assemblies were defueled in hot laboratory (with both mechanical and
chemical process) and cut into several samples. Cladding irradiation temperatures were estimated by neutronics and
thermal computations. Irradiation temperatures range from 400 to 625◦C. Fuel-pin cladding were irradiated up to 120 dpa100

with an helium generation rate of roughly 0.5 appm/dpa1. During reactor operation, the irradiation temperature was not
strictly constant and slightly decreased during reactor cycle. Irradiation temperatures quoted in the paper were averaged
out over the assembly lifetime. In addition, a temperature gradient across cladding thickness was also present during
irradiation. Thermal computations gave an estimate of around 50◦C between the internal and the external part of the
cladding. This temperature gradient may generate a significant swelling gradient in the thickness of the cladding. This105

point is discussed later on in the paper. Average swelling values were deduced from density measurements by immersion
technique with an accuray of about ±0.15%. This technique was considered more reliable than the one using TEM images
of cavities.

(a) (b)

Fig. 2. Axial (a) and ring shape (b) tensile specimens machined in fuel pins to assess the mechanical properties as a function of irradiation conditions
(Dimensions in mm)

1It should be noted that the helium production affects swelling. However, this study deals only with the mechanical properties of a material containing
nanovoids, and not with the mechanisms responsible for the formation of these voids.
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Spark-erosion machining of axial and ring specimens was carried out at several pin heights to span irradiation temper-
atures from 400 to 625◦C. Axial and circumferential tensile specimens are shown in Fig. 2. The gage length of the ring110

specimens is 2mm and the gage width is 1.5 mm (the diameter is 6.55 mm and the shoulders width is 3.5 mm). For the
axial specimen, the gage length is 13 mm and the gage width is 3 mm (the diameter is 6.55 mm and the total height is 60
mm). The geometries of these specimens, similar to the ones used and assessed in [36], have been designed to comply
with cladding geometry and hot cells testing constraints. Numerical finite-element simulations using isotropic plasticity
for typical values encountered in the following confirmed that both geometries allow recovering yield stress and ultimate115

tensile strength values with a maximal error of 5%. Hot-cells tensile tests were conducted in air, at both 20◦C and at the
irradiation temperatures, with strain rates ranging from 3 10−4s−1 to 4.5 10−4s−1. Test temperature was monitored using
thermocouples in contact with the specimens, with an accuracy of ± 1◦C. Conventional tensile properties, yield stress
YS (with an offset of 0.2%), ultimate tensile stress UTS, uniform plastic elongation UE and total plastic elongation TE
were evaluated from the tensile curves (Fig. 1). Strictly speaking, the curves and the conventional properties obtained on120

axial and ring specimens are not true tensile curves and conventional tensile properties due to the use of unstandardized
samples. However, geometrical effects are known to be weak for axial specimens, and ring specimens lead to results
consistent to axial specimens for YS, UTS and TE (Appendix A). All data correspond to relatively high irradiation levels
(> 30 dpa), i.e., higher than the saturation value for many irradiation-induced crystallographic defects (nanoprecipitates,
Frank loop, dislocation) except nanovoids. Thus, for a given swelling level, the dose dependence of tensile properties125

is expected to be small above 30 dpa. In the following, tensile properties are thus evaluated as a function of swelling.
Furthermore, the relatively narrow range of irradiation temperature T in the range [430 − 560]◦C supports the hypothesis
made in the following that only temperature and swelling affect the conventional tensile properties reported hereafter. For
completeness, it should however be noted that differences of irradiation-induced precipitates might exist. The potential
effect of the presence of precipitates is discussed in the last section as a perspective.130

Fig. 3. Synthesis of conventional tensile properties measured with axial specimens for three different irradiation temperature ranges (430<T<470◦C,
480<T<510◦C, 530<T<560◦C) as a function of swelling. Test temperature is equal to the average irradiation temperature.

Results for axial specimens (Fig. 2(a)) are first shown in Fig. 3 as a function of swelling for three temperature ranges.
Up to 6-8% the effect of swelling is rather small on yield stress and ultimate tensile stress whatever the temperature
range, with an overall slight decrease. Moreover, the higher the test temperature, the lower the stresses, consistently
with the effect of temperature on mechanical properties. In contrast, uniform and total elongations decrease drastically
as a function of swelling, down to negligible values above 6% swelling for irradiation temperatures below 500◦C, i.e.,135

quasi-embrittlement occurs. The evolutions of conventional tensile properties as a function of swelling are in qualitative
agreement with the data reported in [14, 15]. In the latter, higher swelling levels are available, allowing to observe the
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strong decrease of yield and ultimate tensile stress in the brittle regime. As shown in Figure 4 ring tensile tests exhibit
similar trends but show a higher dispersion in experimental data. The main difference between tensile properties measured
by ring and axial specimens concerns UE between 450 and 550◦C, which is significantly lower in ring tensile tests. This140

structural effect is also observed restricting to data where swelling is negligible (<1%), as shown in Appendix A. Some
ring tensile test data with brittle behavior were not included in the database because they showed signs of fuel-cladding
chemical interaction (FCCI) responsible for early intergranular attack and grain-boundary embrittlement.

Fig. 4. Comparison of axial and ring conventional tensile properties for three different irradiation temperature ranges (430<T<470◦C, 480<T<510◦C,
530<T<560◦C), as a function of swelling. Test temperature is equal to the average irradiation temperature.

In order to separate the effects of (irradiation and test) temperature T and swelling level S on the evolution of tensile
properties and to assess the existence of master curves, a multiplicative decomposition of the effect of these variables is145

postulated. Conventional tensile properties X are expressed as X(T, S ) = XT (T )XS (S ). The first term XT (T ) is evaluated
by using low-swelling values (XT (T ) = X(T, S ≈ 0)) computed from the data shown in Appendix A, leading to Fig. 5.
Although scatter coming from the initial data (Fig. 4) still appears after normalization, Fig. 5 enables gathering all data
obtained at different temperatures on single curves, allowing to assess the effect of swelling independently of temperature.
The effect of test geometry appears weak, except for yield stress where some outliers may require dedicated assessment.150

For all tensile properties, and for the range of swelling levels available in the database, clear decreasing trends are obtained,
that can be described by linear evolutions (Eq. 2 and Table 2) independent of test geometry.

X(T, S )
X(T, S ≈ 0)

= X̄ (1)

= 1 − αX S (%) (2)

Table 2
Fitted slope of normalized tensile properties versus swelling (Eq. 2)

Properties αX

YS 0.022
UTS 0.020
UE 0.103
TE 0.132

The evolution of the total elongation as a function of swelling indicates a quasi-embrittlement for 1 − αXS = 0 ⇒
S ≈ 7.5%, providing an additional justification of the 6% embrittlement limit chosen in France as a design criteria for155

FBR. These results are in qualitative agreement with data reported in [14, 15], although embrittlement has been found
to occur at slightly higher swelling levels, between 10% to 20%, in these studies. This indicates that other features
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might also influence the transition towards embrittlement. Some of these features, either microstructural or structural, are
investigated numerically in Section 3. In order to gain some insights into the fracture physical mechanisms, microstrutural
observations of selected samples are described in the next section.160

Fig. 5. Normalized tensile properties (Eq. 1) for axial and ring tests as a function of swelling. Dashed lines correspond to a fitted linear function with
parameters from Table 2

2.2. Microstructural analysis of embrittlement

TEM and SEM examinations of 15-15Ti ring tensile specimens were performed to investigate irradiation-induced
microstructural features and fracture mechanisms, respectively. TEM examinations were carried out with a 300 kV FEI
TECNAI 30 G2 TEM (LaB6 gun) equipped with EDS and Gatan Image Filtering (GIF) for EELS and EFTEM analyses.
Post-tensile test fractography used a Zeiss FEG-SEM (Supra 55) specially adapted to study highly radioactive samples165

and equiped with EBSD, EDS and WDS detectors. A detailed account of these observations is beyond the scope of this
paper and will be reported elsewhere, but most important results pertaining to the embrittlement mechanisms are detailed
in this section. Table 3 summarizes the characteristics of samples examined by SEM and TEM and described hereafter. It
should be reminded that swelling depends on both irradiation temperature and dose in a non-linear way [8]. For a given
dose, there is a temperature where swelling is maximal (about 400◦C for the material used), so that swelling is lower for170

lower or higher temperature. For a given irradiation temperature, there is a dose range where swelling is very low (the
so-called incubation phase) above which swelling increases. This explains the swelling values reported in Table 3, i.e., the
difference of swelling between the two last samples having the same irradiation dose can be attributed to the difference of
irradiation temperature.

Table 3
Summary of 15-15Ti microstructural examinations on ring tensile specimens taken from three different irradiation programs.

Irradiation Sample dose Average irradiation Sample swelling Type of
program (dpa) temperature (◦C) (%) examination

#1 68 471 0.5 SEM & TEM
#2 80 448 3.1 SEM
#2 93 472 4.4 TEM
#3 94 451 5.0 SEM & TEM
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TEM images taken at low magnification for three different levels of swelling show the spatial distribution of voids175

(see Fig. 6) in grain and near the grain boundaries. At 0.5% swelling (Fig. 6(a)), very few voids were observed. At
higher swelling, a large number of voids are present (Fig. 6(b,c)), with typical sizes up to few tens of nanometers. More
importantly, the spatial repartition of these voids was found to be heterogeneous, where density and size are larger close
to grain boundaries as shown in Fig. 6(d).

(a) (b)

(c) (d)

Fig. 6. TEM observations of 15-15Ti irradiated samples with three levels of swelling S : (a) 0.5%, (b) 4.6%, (c) 6%, (d) close up of a grain boundary at
S =4.6%.

Such enhancement of local porosity adjacent to a grain boundaries was observed in the literature in neutron-irradiated180

austenitic steels [37] and many irradiated materials [38]. The so-called void-peak zone (VPZ) is often associated with a
void denuded zone (VDZ), a region free from cavities, Frank loops or dislocations. In neutron-irradiated austenitic steels,
the half width of observed denuded zones ranges from 50 to 100 nm [37], depending on the irradiation temperature,
displacement rate, chemical composition and other parameters. TEM observations show also that precipitation is intense
in both grains and grain boundaries. Note that most of cavities are attached to precipitates. Preliminary analysis gave185

indications that these precipitates may correspond to G phase, but additional characterizations (outside the scope of this
study) are required. The formation mechanisms of cavities around grain boundaries could also be linked with the well-
known radiation-induced segregation (RIS) of elements (mainly Ni and Si) leading to G phase formation at high dose
[39, 40]. The effect of RIS is to locally remove Ni and Si from the matrix around grain boundaries, these elements are
known to limit the formation of voids in austenitic steels.190
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(a) (b)

(c) (d)

(e) (f)

Fig. 7. SEM observations at two magnifications of 15-15Ti irradiated samples with three levels of swelling after tensile tests at 20◦C: (a and b) 0.5%,
(c and d) 4.6%, (e and f) 6%.

Fig. 7 shows SEM images of fracture surfaces of ring tensile specimens at two magnifications. In the sample with the
lowest swelling level (S = 0.5%, Fig. 7(a,b)), fractography reveals a classic transgranular ductile fracture with dimples
resulting from nucleation, growth and coalescence of voids originating from intragranular inclusions or secondary phases.
At higher swelling (S > 3%, Fig. 7(c,d,e,f)), fracture surfaces were still ductile and characterized by the presence of
dimples, but with two different features compared to the low swelling case. First, smaller dimples were observed. Second,195

dimples appear along flat regions, as seen for example on Fig. 7(e), resembling grain boundaries. As TEM observations
have shown that voids are in higher density close to grain / twin boundaries, this fracture mode can thus be categorized
as ”quasi”-intergranular ductile, occurring through irradiation-induced nanovoid growth and coalescence along surfaces
parallel to grain / twin boundaries. Regions with transgranular ductile fracture with dimples were also present in the
fractography at higher swelling. Finally, at the scale of the specimen, fracture surfaces are slanted with respect to the200

tensile direction for low swelling levels and become perpendicular for the highest swelling level.

8



In summary, TEM observations associated with SEM fractographies gave some insights into damage and fracture
mechanisms occurring during tensile test for high swelling levels:

• Dimpled surfaces parallel to grain (or twin) boundaries as observed in SEM fractography could be associated with
the presence of a void ”wall” or larger size voids near these boundaries.205

• Intense intergranular precipitation was also observed and could contribute to the evolution of damage and void
porosity in grain boundaries.

• Regions exhibiting intragranular fracture with dimples observed in fractography could be associated with regions
of higher porosity inside grains.

These observations are consistent with the experimental data provided in [15] regarding the transition from slanted to210

perpendicular fracture surfaces as swelling increases. Remarkably, in both cases, the transition appears when quasi-
embrittlement occurs. The physical fracture mechanism is similar to the one described as ”nano-dimples fracture” in [32].
Note that the so-called transgranular channel fracture with plate-like appearance was not detected in any of the surfaces
examined. This may be related to the fact that this fracture mechanism requires strain localization triggered by the pres-
ence of sessile irradiation defects (such as Frank loops), hence lower irradiation temperatures than the ones assessed.215

The results presented in this study regarding the swelling-induced embrittlement on neutron-irradiated austenitic stain-
less steels are in qualitative agreement with the data available in the literature [8]. However, on the one hand quantitative
differences exist for the critical swelling above which embrittlement occurs, and on the other hand modelling is required
to understand the link between microscopic fracture mechanisms and macroscopic tensile properties. Modelling and sim-220

ulations described in the next section thus aim at linking microscopic features to macroscopic quantities. In particular,
heterogeneous void distribution, observed in this study (Fig. 6) and modelled in [31], and structural effects are assessed in
details.

3. Modelling and simulations

In this section, the constitutive equations used to model irradiated stainless steels with a high level of swelling are225

described. A bifurcation analysis is then presented, showing semi-analytical results regarding the evolution of strength
with swelling as well as fracture angle. Finite element simulations on tensile specimens are finally detailed.

3.1. Constitutive equations

The mechanical behavior of austenitic stainless steels with a high level of swelling is modelled as a porous isotropic
elastoplastic material. Due to different definitions, the porosity f is not strictly equal to the swelling level S [31, 33]:

f =
Vvoid

Vmat + Vvoid

S =
Vvoid

Vmat

⇒ f =
S

1 + S
(3)

where Vmat and Vvoid correspond to the volume of the matrix material and void volume, respectively. Porosity is assumed
to come only from the presence of nanovoids, and nucleation from inclusions or precipitates is disregarded.230
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Fig. 8. (a) Evolutions of Young’s modulus E and Poisson’s ratio ν with respect to porosity f according to Eqs. 4 and [41]. E0 and ν0 correspond to the
values for f = 0. (b) Normalized yield stress in uniaxial loading conditions as a function of porosity, according to Eqs. 5, 6 and 7
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The elastic behavior is assumed to follow Hooke’s law, with the compression modulus K and shear modulus µ de-
pending on the porosity as [33]:

K = K0 − f
K0

1 − (1 − f ) K0
K0+K?

K? =
4
3
µ0

µ = µ0 − f
µ0

1 − (1 − f ) µ0
µ0+µ?

µ? =
µ0

6
9K0 + 8µ0

K0 + 2µ0

(4)

from which the Young’s modulus E = (9Kµ)/(3K + µ) and Poisson’s ratio ν = (3K − 2µ)/(6K + 2µ) can be obtained. For
f = 0, [K, µ] = [K0, µ0]. The evolutions of Young’s modulus and Poisson’s ratio with respect to the porosity are shown
in Fig. 8(a). For the former, the evolution is in qualitative agreement with the experimental results and model proposed in
[41] where both Young’s modulus and shear modulus are assumed to follow a (1− f )2 law. In the following, the values of
E0 and ν0 - corresponding to f = 0 - are set to 200GPa and 0.3, respectively.235

Two equivalent stresses σg,c
eq are defined to model the plastic behavior in presence of porosity. The first one comes

from the Gurson-Tvergaard-Needleman (GTN) model [42, 43]:

σ
g
eq such as

(
σvM

σ
g
eq

)2

+ 2q f cosh
(

3
2
σm

σ
g
eq

)
− 1 − q2 f 2 def.

= 0 (5)

with σvM =
√

[3/2] s : s the von Mises equivalent stress and σm = trace(σ)/3 the mean stress, with σ the Cauchy stress
tensor and s = σ − σmI the stress deviator. q is a numerical parameter introduced to improve the accuracy of the model,
and sets to q = 1.5 in the following [44]. The GTN model is an extension of the Gurson model [23] obtained through the
rigorous micromechanical analysis of a hollow sphere, and is widely used to describe the plasticity of porous materials for240

low porosity / void growth deformation regime (Fig. 9). The validity - and limits - of the GTN model have been assessed
extensively in the literature [44].

λ=1 λ=2 λ=3
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σ σ

Void growth deformation mode
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Fig. 9. Micromechanical modelling of porous materials: Homogenization of an array of spherical voids and definition of the geometrical parameters f ,
λ and χ

A second equivalent stress is defined:

σc
eq such as σI

def.
=

(1 − χ2)

0.1 (
χ−1 − 1

W

)2

+ 1.2
√
χ−1

σc
eq (6)

that is the homogenized model relevant for large porosity where plastic flow is no longer diffuse but localizes in between
adjacent voids [44]. σI is the component of the stress perpendicular to the localization plane, W is the void aspect ratio
and χ is related to the intervoid distance (Fig. 9). Finally, the yield criterion of the material is defined as:

F = max
(
σ

g
eq, σ

c
eq

)
− R(p) (7)

where R(p) represents the isotropic hardening, with p a measure of the accumulated plastic strain in the matrix material
surrounding voids. F < 0 corresponds to elasticity, and plasticity occurs for F = 0. As an example, in the case of uniaxial
loading conditions, the value of the non-zero component of the stress tensor σ for which plasticity will occur according245

to Eqs. 5, 6 and 7 is shown on Fig. 8(b). For low porosity, plasticity comes from Eq. 5, i.e., void growth diffuse plasticity.
For large porosity, plasticity occurs from Eq. 6, i.e., void coalescence localized plasticity.

Plastic flow is defined assuming normality rule [45]:

ε̇p = (1 − f ) ṗ
∂F

∂σ
(8)

For f → 0, i.e., no porosity, Eqs. 5, 6, 7, 8 reduce to classical von Mises plasticity. The model described hereabove is
in fact the simplest homogenized model for porous materials including both growth and coalescence regime, and cor-250

responds to a particular case of refined models described for example in [44]. Such kind of homogenized models have
10



been extensively discussed in the literature through comparisons to reference finite element simulations where voids are
modelled explicitly [44]. The model described here shares some features with the modelling proposed by Margolin and
coauthors in [30, 32]: the Rice-Tracey law used to compute the evolution of porosity is recovered by the Eqs. 5, 7 and 8.
The main difference is the modelling of void coalescence which comes here (Eq. 6) from a rigorous micromechanical255

analysis of porous materials [24].

For simplicity, voids are assumed in the following to remain spherical (W = 1), and the simplest isotropic linear hardening
law is considered:

R(p) = R0 + H p (9)

To summarize, the model requires only four input parameters: {R0,H} to characterize the hardening behavior of the
matrix material surrounding voids, and { f , λ} = { f0, λ0} to describe the initial void distribution. Note that calibrating other
parameters may be necessary to get predictions in quantitative agreement with experimental data, such as the q value used260

in Eq. 5, but the main idea of the model is to identify key parameters. R0 can be seen as a normalizing factor for stresses,
and can be set to an arbitrary value without loss of generality. In what follows, R0 = 800 MPa is used. The initial porosity
value is related to the swelling level according to Eq. 3. The parameter λ2 is a simple way to describe the anisotropy of
void distribution observed experimentally (Figs. 1(a), 6). Voids are assumed to be aligned along the principal axis set by
the loading direction, as shown on Fig. 9, which is clearly a simplified approach. Again, the model is set as the minimal265

physically-based one allowing to assess key parameters. Finally, it should be noticed that void size is not accounted for
in the model as only dimensionless parameters are used (Fig. 9). This classical assumption in ductile fracture / porous
materials modelling [44] holds in particular when void size is large compared to the typical lengthscale sets by dislocation
density ρ (` ∼

√
ρ−1) [27]. Absence of void size effects has been confirmed experimentally in [28] for conditions close to

the one considered in this study. The constitutive equations described in this section have been implemented in the MFront270

code generator [47] under finite strain in order to be used in finite element simulations. The numerical implementation
has been described in detail elsewhere [48].

3.2. Theoretical predictions
Semi-analytical predictions regarding the evolution of mechanical properties with swelling can be obtained with the

model described in the previous section neglecting structural effects (induced by the geometry of the test samples) and275

assuming that the hardening is weak. In that case, Eqs. 5, 6, 7 can be used to obtain the maximal stress that the material
can sustain under tensile loading, which is simply the stress for which plasticity will occur3. The dependence of this
maximal stress with respect to the swelling level S and to the heterogeneity of void distribution λ is shown on Fig. 10(a).
Two separate regions exist, where plasticity is driven either by void growth diffuse plasticity (Eq. 5) or void coalescence
localized plasticity (Eq. 6). For very high swelling level and / or highly heterogeneous void distribution, the maximal280

stress goes to zero: the material can not sustain any mechanical loading as voids are interconnected. This is consistent
with the experimental observations of failures of FBR fuel claddings or wrappers simply by manipulating them [14, 15].
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Fig. 10. Theoretical predictions of (a) maximal tensile stress and (b) fracture angle (see Inset Fig. 11) with respect to the loading direction as a function
of swelling level S and void distribution heterogeneity λ (defined in Fig. 9), for uniaxial tensile loading conditions. The black line corresponds to the
transition from void growth plasticity (Eq. 5) to void coalescence plasticity (Eq. 6).

Moreover, it is possible to perform a bifurcation analysis of the constitutive equations described by Eqs. 5, 6, 7, 8
as initially proposed in [29] for the Gurson model and performed in [49] for the GTN model. The principle of such

2It should be noted that the parameter λ, as f , evolves under mechanical loading. The evolution law simply comes from geometry (Fig. 9), and can
be found for example in [46].

3Without hardening, the ultimate tensile strength is equal to the yield stress.
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analysis, theoretically described in [50], is to evaluate if, from a homogeneous deformation / stress state, a heterogeneous
deformation / stress state can occur in the form of a localized band (Inset of Fig. 11(a)). The occurrence of such strain
localization is often used as an indicator of fracture strain and crack path at the material scale. In practice, for a given set
of constitutive equations, and for a given loading, the condition for strain localization inside a band is:

H such as I = det (n.C( f ,H, λ).n) = 0 (10)

where C is the incremental stiffness fourth order tensor relating stresses and strains increments σ̇ = C : ε̇, and n is the
normal to the localization band (Fig. 11(a)). The expression of C for the constitutive equations used here is given in
Appendix A. Fig. 11(a) shows, for two porosities and uniaxial loading conditions and no hardening H = 0, the evolution285

of I as a function of the localization band angle θ. For the lowest porosity, I is always higher that zero, i.e., bifurcation
cannot occur, contrary to the case of high porosity. The influence of decreasing the hardening parameter is mainly to shift
the curves downwards. In practice, for tensile loading conditions and fixed values of porosity and void heterogeneity λ,
the angle θ for which I is minimal is looked for, corresponding to the orientation of the band. The value of H is then
determined in order to have I(θ,H) = 0.290
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Occurrence (or not) of strain localization at the material scale depending on the porosity

The results of this analysis are twofold. First, in the void growth regime (Fig. 10(b)), Eq. 10 can not be satisfied for
any value of θ for any positive value of the hardening modulus. The lowest value is obtained for θmin ≈ 50◦. In this
regime ( f < fc Fig. 11(b)), no strain localization happens. The occurrence of necking eventually changes the mechanical
loading conditions, and allows satisfying Eq. 10, as shown in [49], and thus fracture is expected to occur for θ f ≈ θmin.
Secondly, in the void coalescence regime, Eq. 10 is satisfied as soon as the hardening modulus is lower than a critical295

value, associated with θ = 90◦ (Fig. 11(b)). Thus, as soon as plasticity occurs in a structure under tensile loading, strain
localization appears in a band perpendicular to the loading direction. High levels of plastic strain can still be achieved in
the band prior to fracture, but the macroscopic behavior will appear brittle.

The theoretical predictions shown in Fig. 10 are consistent with the experimental observations, and indicate that the300

decrease of strength and quasi-embrittlement observed in irradiated austenitic stainless steels with a high level of swelling
can be understood solely by the presence of voids. In particular, the embrittlement results from the transition from void
growth to void coalescence regime (Fig. 10), the latter resulting in an unstable deformation mode (Fig. 11). The effect of
void distribution inhomogeneity on tensile strength and critical porosity / swelling above which embrittlement occurs is
strong, and may explain the differences observed between sets of experimental results. However, the mechanical properties305

measured experimentally may deviate from these predictions because of structural effects induced by the geometry of the
test specimens - as reported in [15] and / or because of inhomogeneity of the void distribution at the scale of the test
specimen. To assess these effects, finite element simulations are required.

3.3. Finite element simulations

Mechanical tests on fuel claddings are often performed on ring tensile specimens (Fig. 12(a)) as presented previously310

in the database. Finite element simulations of tensile tests on ring specimens are thus described in this section, and the
results are discussed in Section 4. The finite element mesh used is shown on Fig. 12(b): quadratic elements with full
integration are used. The convergence with respect to mesh size has been checked for all results presented hereafter.
A prescribed displacement is imposed to the inner mandrel, and frictionless contact is considered between the mandrel
and the specimen. Simulations are performed using Cast3M finite element solver [51]. In addition, simulations are also315

performed for comparisons on flat tensile specimens having the same geometrical parameters - thickness, width, gage
length - than the ring tensile specimens.
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(a) (b)

Fig. 12. (a) Sampling of ring tensile specimens from FBR fuel claddings (b) Mesh used for the finite element simulations (due to symmetries, only one
eight of the mesh is actually used)

The typical output of the simulation - conventional strain-stress curves as in the experiments (Fig. 1(b)) - is shown
in Fig. 13(a), allowing computing conventional tensile properties: yield stress at 0.2% plastic strain YS, ultimate tensile
strength UTS and associated plastic strain UE, and plastic fracture strain TE. YS and UE are sensitive to the initial gap320

between the ring tensile specimen and the mandrel, as well as to friction coefficient. Therefore, only UTS and TE are used
in the following to assess the influence of swelling, which is justified based on the experimental results as they display the
same trends as YS and UE.
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Fig. 13. (a) Conventional stress-strain curves obtained on ring tensile specimens for H = 850MPa, λ = 1, for porosity ranging from 0% to 30% (every
2%) (b) Accumulated plastic strain field p close to fracture for f = 20%

Accumulated plastic strain fields (Fig. 13(b)) allow to monitor the occurrence of strain localization. For the set of
simulations on Fig. 13(a), one can already see that, the higher the swelling, the lower the stress the sample is able to325

sustain. The fracture strain also decreases drastically as swelling increases, up to a point where failure occurs in the
elastic regime. These observations, in qualitative agreement with the experimental data, are assessed in more details and
compared in the next section.

4. Numerical results

The results of the finite element simulations are detailed in this section, firstly for the effect of materials parameters to330

support the theoretical results (Fig. 10), and secondly for the structural effects.

4.1. Effects of material parameters

Fig. 14 shows the effects of the matrix hardening parameter H and the inhomogeneity of void distribution λ on
conventional stress-strain curves. As expected, the hardening has a slight effect on the mechanical strength (Fig. 14(a))
for low values of porosity: the higher the hardening modulus, the higher the tensile strength. This can be understood335

using the Considère’s criterion [52] stating that the maximal force during a tensile test occurs when dσ/dp = σ, leading
to σ = H for the linear hardening considered here (Eq. 9). The effect of hardening - for the two values considered - on
fracture strain is however very weak. For a given value of hardening, the effect on the inhomogeneity of void distribution
λ is however stronger on the fracture strain, as shown on Fig. 14(b). Especially, the porosity threshold for which fracture
occurs in the elastic regime is about 16% for λ = 1, and reduced to about 6% for λ = 2.340
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Fig. 14. Conventional stress-strain curves obtained on ring tensile specimens for porosity ranging from 0% to 30% (every 2%), as a function of (a)
matrix hardening H and (b) void distribution inhomogeneity λ

The evolutions of conventional tensile properties UTS and TE - extracted from these stress-strain curves - with respect
to swelling are shown on Fig. 15. Tensile strength decreases with swelling, with a weak effect of matrix hardening and
strong effect of void distribution inhomogeneity (Fig. 15(a)). A slope break is observed for a critical swelling above
which maximal stress decreases faster. This is consistent with the theoretical predictions (Fig. 10(a)) where the critical
swelling is associated with the transition from void growth to void coalescence deformation mechanism. The evolution of345

the normalized plastic fracture strain with respect to swelling is plotted on Fig. 15(b), showing the occurrence of critical
swelling above which TE = 0, i.e., fracture occurs in the elastic regime. Both critical swelling identified on Fig. 15(a) and
Fig. 15(b) have the same values, which is again in accordance with the theoretical predictions stating that void coalescence
deformation mode leads to strain localization.

0.001

0.01

0.1

1

10

0.1 1 10

0

0.2

0.4

0.6

0.8

1

10 20 30 40 50

U
T
S
/R

0

Swelling (%)

λ = 1, H = 850MPa
λ = 2, H = 850MPa
λ = 1, H = 900MPa
λ = 2, H = 900MPa

(a)

0

0.2

0.4

0.6

0.8

1

5 10 15 20 25

T
E

/
T

E
(S

=
2%

)

Swelling %

λ = 1, H = 850MPa
λ = 2, H = 850MPa
λ = 1, H = 900MPa
λ = 2, H = 900MPa

(b)

Fig. 15. Evolution of (a) tensile strength and (b) plastic fracture strain as a function of swelling, for different values of matrix hardening H and void
distribution inhomogeneity λ, for ring tensile specimen

More quantitatively, the critical swelling in these numerical simulations are S c(λ = 1) ≈ 18% and S c(λ = 2) ≈ 6%,350

lower than the ones obtained in Fig. 10 (about 24% and 8%, respectively). This potentially indicates the presence of
structural effects that are assessed in the next section.

4.2. Structural effects

Results of numerical simulations performed on flat tensile specimens are compared to the previous one obtained on
ring tensile specimens (Fig. 16). For all sets of material parameters (H, λ), a significant effect of specimen geometry is355

observed. Mainly, the critical swelling level is higher for the flat tensile specimens than for ring tensile specimens, delay-
ing the steeper decrease of tensile strength (Fig. 16(a)) and fracture (Fig. 16(b)). Results from Fig. 16(a) for flat tensile
specimens are in quantitative agreement with the theoretical analysis (Fig. 10). The structural effect can be understood as
follows (as proposed earlier in [15]). Due to the ring tensile geometry, a stress gradient is present along the thickness for
low values of strain (typically at the macroscopic yield point). Higher stresses are experienced at the inner surface of the360

ring, and local yielding occurs there before extending to the outer surface. Accumulated plastic strain are also higher at
the inner surface, leading to higher increase of porosity. For initial porosity close to the transition from void growth to
void coalescence plasticity, this effect may be sufficient to trigger locally void coalescence at the inner surface, resulting
in lower tensile strength and fracture strains (Fig. 16). This structural effect is consistent with the experimental results
presented in [15] showing delayed embrittlement for flat tensile specimens compared to ring tensile specimens. However,365

it should be noted that the results were obtained on different materials, and the difference observed can also be the result
of different void distribution inhomogeneity (Fig. 15).
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Fig. 16. Evolution of (a) tensile strength and (b) plastic fracture strain as a function of swelling, for different values of matrix hardening H and void
distribution inhomogeneity λ, for ring and flat tensile specimens

Another structural effect put forward in [15] to explain the differences between tests on ring and flat specimens is the
presence of a swelling gradient along the thickness. This effect will be assessed in Section 5.

4.3. Comparisons to experimental results370

The analytical and numerical results are compared to the experimental results in this section. The evolutions of
ultimate tensile strength and total elongation as a function of swelling obtained in Section 2.1 are shown in Fig. 17
along with numerical results on ring tensile specimens. Experimental results are presented using the calibrated functions
(Eq. 2) with parameters from Table 2. For both ultimate tensile strength and total elongation, the experimental trends are
correctly described by the numerical results for weakly heterogeneous void distributions λ ∈ [1 : 2]. In particular, the375

initial slopes (for small values of swelling) are well predicted. Moreover, the fact that heterogeneous void distribution
λ > 1 is needed to capture the critical swelling level above which quasi-embrittlement occurs (Fig. 17(b)) is consistent
with TEM observations (Fig. 6). These comparisons support the fact that void distribution is a key factor for embrittlement
of neutron-irradiated austenitic stainless steels.
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Fig. 17. Evolution of (a) tensile strength and (b) plastic fracture strain as a function of swelling, for different values of void distribution inhomogeneity
λ, for ring specimens. Black solid lines correspond to experimental data (Eq. 2 and Table 2), and dashed lines to the prolongation of these linear
functions above the maximal swelling on which they were calibrated.

Experimental results presented in Section 2.1 are limited to swelling values below or close to the embrittlement limit,380

and do not allow to assess the regime where strength decreases drastically. Experimental data provided in [15, 8] are
thus used and compared to the analytical and numerical results in Fig. 18. First, Fig. 18(a) shows the evolution of the
fracture angle as a function of swelling obtained experimentally compared to the analytical predictions from Fig. 10(b).
The transition from slanted to perpendicular fracture surface is correctly predicted by the model, and the comparison to
the experimental data indicates that quantitative agreement is found for a heterogeneous void distribution characterized385

by λ ≈ 2. Thus, this value is used to compare the evolution of tensile strength predicted by the simulations on ring and
tensile specimens to two sets of experimental results in Fig. 18(b). Interestingly, the differences observed in [15, 8] for
the two datasets [15, 8] and explained, at least partially, by the difference of test geometry is supported by the simulations
performed in this study. This points out the importance of the tensile test geometry to evaluate the embrittlement limit,
which will be discussed in the following.390
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Fig. 18. Evolution of (a) fracture angle predicted by the analytical model and (b) tensile strength predicted by numerical simulations as a function of
swelling, for different values of void distribution inhomogeneity λ, for ring and flat tensile specimens. Experimental data correspond to values reported
in [15, 8], where the two datasets (#1,#2) correspond to flat tensile and ring test geometry, respectively.

These comparisons indicate that differences of test geometry, as proposed in [15], but also of void distribution may
explained the quantitative differences observed in the literature regarding the embrittlement limit. Another factor is the
presence of swelling / porosity gradient in test specimens that is assessed numerically in the next section.

5. Discussion

The numerical results presented in Section 4 correspond to the case of an homogeneous porosity in the tensile spec-395

imen, focusing on assessing the key parameters involved in the occurence of the quasi-embrittlement. In this section,
the effect of inhomogeneous porosity is first studied, in order to be closer to experimental observations. Then, practical
guidelines are discussed with respect to the interpretation of experimental tests and on the determination of the parameters
of the constitutive equations.

5.1. Effect of porosity gradient400

Due to the presence of temperature gradient through the thickness of fuel claddings used in FBR applications, local
swelling gradients have been reported in the literature [7]. However, the swelling levels reported in experimental studies
are measured mostly through density measurements, hence correspond to average values. The effect of the presence of
porosity gradient on the tensile properties measured from ring tensile specimens is assessed in this section. The porosity
f is assumed to vary linearly through the thickness h:

f (z) = max
[
∇ f
h

(
z −

h
2

)
+ f0, 0

]
(11)

The corresponding macroscopic (average) swelling level can be computed using Eqs. 3, 11:

S =
1
h

∫ h

0

f (z)
1 − f (z)

dz (12)

∇ f = ±[0.1, 0.2] are used in the following. These values have been taken voluntarily large - the worst case corresponding
to the absence of swelling on one side and 25% on the other side - to exacerbate the potential effects. Experimental results
shown in [7] are closer to ∇ f = 0.1. It should also be noted that, contrary to what have been proposed in [15] to explain
the geometry effects - that the swelling is higher at the inner surface - swelling gradients can be either positive or negative.
Irradiation temperature is always higher at the inner surface, but the sign of the gradient depends if the inner temperature405

is higher or lower than the temperature for which swelling is maximal. In the former case, swelling gradient will be
negative, while positive in the latter case.
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Fig. 19. Evolution of (a) tensile strength and (b) plastic fracture strain as a function of average swelling, for ring shape specimen, H = 850MPa and
λ = 1, for different values of the swelling gradient ∇ f (Eq. 11)

The effect of such gradient is shown on Fig. 19 on the tensile strength and fracture strain, as a function of the average
swelling (Eq. 12), In all cases, the presence of gradients - either positive or negative - leads to a decrease of the critical
swelling above which failure occurs in the elastic regime. Higher local porosity can trigger void coalescence deformation410

regime in which the local stress decreases quickly with strain, hence leading to lower stress. Moreover, the decrease is
more significant when the gradient is negative, i.e., the porosity is higher in the inner surface of the ring. For low applied
macroscopic strain, higher local strain are experienced at the inner surface of the ring due to bending of the specimen.
Thus, stress decreases more quickly in cases where the porosity is higher at the inner surface than at the outer surface.
The effect of swelling gradient on ring tensile specimen is thus to exacerbate the structural effects observed in Fig. 16.415

5.2. Interpretation of experimental tests

Theoretical predictions and numerical simulations reported in the previous sections support the idea that the quasi-
embrittlement observed in irradiated austenitic stainless steels with a high level of swelling comes from the transition
from a diffuse deformation mode to a localized one at the local scale. The material is still ductile, but strain localization
induced by void coalescence deformation regime leads to a brittle behavior at the macroscopic scale, as deformation420

localizes in one layer of void. Hence, assuming that locally fracture occurs for a critical strain εmicro
f , the macroscopic

strain to failure of a tensile sample of length L is εmacro
f = (R/L)εmicro

f � 1, as R/L � 1, R being the void size. The critical
swelling level S c above which quasi-embrittlement is observed to depend mainly on void distribution (in-)homogeneity:
the embrittlement occurs later for homogeneous distribution that corresponds to the upper-bound of the critical swelling.
The parameter λ used in this study to characterize this inhomogeneity (observed in Fig. 1(a) where higher density of425

nanovoids are found at or close to grain boundaries) might be difficult to estimate quantitatively from TEM observations,
thus the determination of S c relies ultimately on mechanical tests. However, care should be taken as structural effects
may occur. The evaluation of S c on ring tensile specimens is expected to lead to a lower bound estimation, as shown in
Fig. 16. Similarly, the presence of swelling gradient leads to lower bound estimates of S c (Fig. 19). In order to calibrate
the constitutive equations described in Section. 3.1, it is thus proposed to perform tensile tests on flat specimens, or on ring430

tensile specimens without swelling gradient. For very low swelling levels, the matrix hardening can be calibrated, and
the parameter λ can be estimated based on the critical swelling level S c by using for example Fig. 10. Hence the model
is fully calibrated, and can be used to perform numerical simulations in more complex situations, such as pre-cracked
samples in order to evaluate fracture toughness. It should be noted finally that other features might be necessary to be
accounted for in the modelling to get quantitative predictions, as detailed in the next section.435

6. Conclusion

Austenitic stainless steels used for FBRs claddings experience high irradiation doses at high temperatures, leading to
the so-called swelling phenomenon. The mechanical properties depend on the swelling level, and it has been reported
in the literature that failure occurs in a brittle-like manner above a critical swelling level. In this study, an additional
experimental database of conventional tensile properties versus swelling values - along with SEM and TEM observations440

- has been described, coming from mechanical tests performed on cold-worked 15-15Ti fuel claddings irradiated in the
FBR Phénix. The database, consistent with previous data, shows the decrease of yield stress and mechanical strength as
swelling increases, as well as the occurrence of a critical swelling above which a quasi-brittle behavior is observed. A
micromechanical analysis of the quasi-embrittlement of irradiated stainless steels experiencing high swelling has been
proposed in order to assess the key parameters involved in this phenomenon.445

The main outcomes of this study are the following. First, master-curves have been proposed to fit the entire database
for the dependence of the mechanical properties to the swelling level. Finite element simulations of the tensile tests on
both ring and flat tensile specimens have been performed, using constitutive equations relevant to model porous materials.
Simulation results allow to recover the experimental results, i.e., decrease of yield stress / ultimate tensile strength with
swelling, as well as the occurrence of the quasi-embrittlement. For a given swelling, the heterogeneity of void distribution450
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- observed in TEM images - is shown to have a major effect on the quasi-embrittlement. The finite element analysis is
supported by a theoretical analysis, predicting the maximal stress and fracture angle as a function of both swelling and
heterogeneity of void distribution. In a nutshell, quasi-embrittlement can be explained by a local deformation mode at
the local scale referred to as void coalescence in the ductile fracture literature, that leads to strain localization in a band
perpendicular to the tensile loading direction. Structural effects coming from the geometry of tensile specimens and / or455

swelling gradient are shown to lead to lower values of the critical swelling. The theoretical and numerical predictions are
found to rationalize the experimental observations regarding the effects of test specimen geometry and the differences that
may be observed between different materials for a given swelling level.

While the analysis presented allows to rationalize the experimental results, some perspectives could be considered.
The assumption underlying Eq. 3 is that only irradiation-induced nanovoids contribute to the porosity of the material.460

Voids may also be nucleated from inclusions, which is the common scenario in ductile fracture, and the high number of
precipitates usually observed in highly irradiated stainless steels makes this plausible. The qualitative effect of nucleation
will be to increase the porosity, and thus to precipitate the occurrence of quasi-embrittlement. The difficulty in incor-
porating nucleation in the current modelling lies into the lack of reliable void nucleation criteria. Even for micrometric
inclusions, void nucleation is treated using phenomenological criteria, either stress- or strain-controlled [45]. For nano-465

metric inclusions, size effects could also be expected. Experimental assessment of void nucleation from nanoprecipitates,
either from debonding or cracking, is required. A second perspective lies into the homogenized model for porous ma-
terials used in this study. As stated previously, this model is the simplest one incorporating both void growth and void
coalescence regimes and based on a micromechanical approach. An assumption used is to consider spherical voids, which
is relevant at the initial state. However, void shapes evolve under deformation, affecting ductility [44]. Refined homoge-470

nized models are available accounting for void shape that can be used in further studies. The effect on the critical swelling
leading to embrittlement is however expected to be weak as embrittlement has been shown to come from a localization
phenomenon occurring at low strains. Another assumption used is the isotropic behavior of the matrix surroundings voids,
while nanovoids lies inside grains, thus in single crystals. Moreover, in the case of heterogeneous swelling, voids may be
found predominantly at - or close to - grain boundaries. This leads to the question of the effect of the grain boundary of475

the path followed by a ductile crack.
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Appendix A: Effect of temperature on conventional tensile properties490

Fig. 20 summarizes the evolution of conventional tensile properties of neutron-irradiated 15-15Ti as a function of
temperature, for limited swelling S < 1%. For a given specimen geometry, some variability is observed, especially for
uniform and total elongations, that can be attributed to two causes. Slight differences in chemical composition shown
and discussed along with Table 2 can explain part of the variations. For uniform and total elongations, reminding that495

both correspond to material instability (necking for the former, fracture for the latter), variations can be due to some
imperfections of the specimen geometries. More precisely, for total elongation, the different shape of the cross section
is known to affect ductility as leading to different stress states [53]. For the uniform elongation, a slight structural effect
due to the bending of the gage length might play a role. However, clear trends can be observed, and trend curves have
been calibrated and used to normalize the data (Eq. 2). For completeness, fitting curves of the experimental results500

for the unirradiated material are also given. The monotonic evolution of yield stress and ultimate tensile strength with
temperature for both unirradiated and irradiated materials is rather classical. Non-monotonic evolutions of the elongations
are observed, also reported for 316L austenitic stainless steel [54] and related to Dynamic Strain Ageing (DSA). As stated
in [54], the link between DSA and ductility remains however to be clarified. At the unirradiated state, these curves are
consistent with results obtained on a similar material in this temperature range [55].505

(a)

Fig. 20. Comparison of axial and ring tensile tests (using test geometries shown on Fig. 2) at swelling lower that 1%. Solid and dashed lines correspond
to calibration of the data by polynomials functions. Red curves are fits of unirradiated data (for axial specimen) on 15-15Ti.

Appendix B: Elastoplastic tangent matrix C

The bifurcation analysis presented in Section 3.2 requires the computation of the elastoplastic tangent matrix C defined
as:

σ̇ = C : ε̇ (13)

The generic expression for porous constitutive equations is given in [49]:

C = Ce −
1 − f

h
(Ce : N) ⊗ (Ce : N) (14)

where Ce is the Hooke’s elasticity fourth order tensor defined as Ce
i jkl = λδi jδkl + µ

(
δikδ jl + δilδ jk

)
, with λ and µ the Lamé

19



elastic parameters. N and h are the direction of plastic flow and a parameter defined as:

N =
∂σeq

∂σ

h = (1 − f )N : Ce : N + H − (1 − f )2 ∂σeq

∂ f
N : 1

(15)

For void growth equivalent stress (Eq. 5):

∂σeq

∂σ
=

3s? + q sinh
(
1.5σ?m

)
1

2σ?,2vM + 3q fσ?m sinh
(
1.5σ?m

)
∂σeq

∂ f
=

2q sinh
(
1.5σ?m

)
− 2q2 f

2σ?,2vM + 3q fσ?m sinh
(
1.5σ?m

) (16)

where (•)? = •/σeq. For void coalescence equivalent stress (Eq. 6):

∂σeq

∂σ
=

(1 − χ2)

0.1 (
χ−1 − 1

W

)2

+ 1.2
√
χ−1

−1

eI ⊗ eI

∂σeq

∂ f
=
∂σeq

∂χ

∂χ

∂ f

∂σeq

∂χ
=

20W2 χ
3
2

(
χ

9
2 + 9W2 χ4 − χ

7
2 + 3W2 χ2 − χ

3
2 +
√
χ
)

(χ − 1)2 (χ + 1)2
(
χ

5
2 + 12W2 χ2 − 2χ

3
2 +
√
χ
)2 σI

∂χ

∂ f
=

2λ
π

(
6 fλ
π

)−2/3

(17)
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